Abstract-Direct-drive generators to be used in off-shore wind farms are very large low-speed electric machines, which pose remarkable design and manufacturing challenges. Demand forecasts for this kind of machines are urging manufacturers to work out design and technological solutions capable of facilitating series production at competitive costs. This paper presents the development of an interior permanent-magnet generator design and technology aimed at reducing series manufacturing costs while preserving good performance levels. The focus is on two of the most critical issues in the machine design and analysis, namely, the prediction and reduction of eddy-current losses in stator conductors and in permanent magnets. The proposed design solutions are validated through the construction and testing of a 780 kVA generator prototype conceived for easy scalability to higher power ratings (up to around 2.5 MVA) by core length increase.
I. INTRODUCTION
A N EXTENSIVE exploitation of wind energy potentialities is one of the key factors in the present attempt to increase the overall power production from renewable sources [1] . Power systems for producing electricity from the wind have been studied and developed to fit several installation sites and environmental conditions, from household microturbines [2] to large wind farms [3] . In the area of off-shore wind farms, different power system technologies are presently available, mainly depending on the alternator topology and on the turbinealternator mechanical coupling [4] , [5] . The coupling through dual-or multistage gearboxes makes it possible to raise the speed and reduce the size and cost of generators, which can be either permanent magnet (PM) or doubly fed induction machines [5] - [7] . Conversely, the direct-drive solution leads to low-speed high-torque machines with high pole count, PM rotors and very large stator diameters [8] . Although more cumbersome and expensive, the direct drive solution offers the benefit of better efficiency and reliability thanks to gearbox removal [4] ; this feature makes direct-drive alternators particularly suitable for off-shore installations, where a minimized maintenance is a crucial requirement [8] .
According to market forecasts, a growing demand for large direct-drive generators will occur in the next few years. This is urging manufacturers to develop design and manufacturing technologies that will enable them to produce such kind of machines on a large-scale basis and at competitive costs. The effort for manufacturing cost reduction obviously conflicts with the need to fulfill demanding performance specifications in terms of efficiency, torque quality, and fault tolerance. This paper reports on the industrial development of an interior PM (IPM) generator design and technology intended to achieve an acceptable compromise between manufacturability and good performance figures [9] - [11] . The proposed solution features a high modularity in both stator and rotor design. The stator winding, composed of tooth-wound concentrated coils, includes four parallel-connected mutually decoupled quadrants which can work independently guaranteeing fault-tolerant operation. The rotor design is based on IPMs with tangential magnetization. Of course, the design choices aimed at improving the manufacturability and reducing production costs, usually imply drawbacks in terms of performance. In the case of the generator under study, a major issue in its design for manufacturability is assuring that additional losses, in both the stator and in the rotor, are maintained within safe limits to preserve acceptable efficiency and thermal behavior. A special focus is therefore placed in the paper on the strategies adopted, in the design and development stage, to predict and mitigate stator and rotor additional eddy-current losses.
The proposed technology is assessed through the realization and testing of a 780 kVA prototype conceived for easy scalability to higher power ratings (up to 2.5 MVA) by core length increase, hence with no change in machine cross section [9] . Both the manufacturing of the prototype and its testing (performed with the techniques discussed in [10] and [11] ) have provided encouraging results that confirm the effectiveness of the proposed design as well as of the techniques employed for eddy-current loss prediction and mitigation.
II. OVERALL GENERATION SYSTEM ARCHITECTURE
A first preliminary choice regards the selection of system ratings. The typical power rating for off-shore wind generators is in the order of some MWs and is presently growing toward tens of MWs [12] . The speed is in the order of 10-15 r/min. The construction of a full-scale prototype with these power ratings would imply an investment that may hardly fit a research and development project. Therefore, the choice is made to build a technology demonstrator having the same cross section as the full-scale generator but a reduced axial length L, as depicted in Fig. 1 . The power (and the torque) of the machine (treating the speed as a constant) is supposed to grow proportionally to L, while (apart from a slight discrepancy due to the different weight of end effects) the performance of the generator are assumed not to change significantly with L. So the possibility to assess the generator performance is maintained even if the axial length L is properly reduced to keep the prototype production costs within reasonable limits. The value chosen for L is 400 mm. Conversely, the full-scale machine would have an axial length of 1000 mm or larger. At a rated speed of 14 r/min, the prototype is rated 780 kW, while, at the same speed, the full-scale machine is rated 2 MW (see Table I ).
The overall system architecture is mainly dictated by the need to achieve a certain level of fault tolerance, which is known to be a key requirement for off-shore installations where ordinary and breakdown maintenance are to be minimized [4] , [12] , [13] .
One essential strategy to achieve fault tolerance consists of segmenting the overall system into independent units designed so that, even if a fault occurs in one of them, the others can maintain in service thus guaranteeing service continuity [13] . The power segmentation is obtained by means of the architecture shown in Fig. 2 . The generator is designed so that the stator includes four three-phase quadrants, each spanning 90°, marked as 1, 2, 3, and 4 in Fig. 2 . The four quadrants produce in-phase electromotive force (EMF) systems and are therefore suitable for being parallel connected with no risk of circulation currents. Moreover, each quadrant (or set of parallel-connected quadrants) can be connected to a power converter, which interfaces it to the grid. In principle, each of the four quadrants could be connected to a power converter, leading to the maximum level of fault tolerance. Actually, in order to reduce the cost of the power electronics equipment needed for the technology demonstrator, the decision is made to parallel-connect quadrants 1 and 2 and have them supply one power converters; similarly, quadrants 3 and 4 are parallel connected and supply a second converter. A dual-converter arrangement is therefore implemented (see Fig. 2 ).
Regarding fault tolerance features, if a fault occurs in one of the two converters, it is disconnected and the generator can continue operating at nearly 50% of its rated power. If one of the quadrants undergoes a fault, it is also disconnected, together with its shunt-connected quadrant. This is clearly shown in Fig. 2 , where dashed lines connecting switches indicate that they are forced to be always in the same state. The reason for opening quadrants not individually but in pairs (1 together with 2, 3 together with 4) is due to the need for preventing dangerous mechanical stresses that would arise from unbalanced magnetic pull (UMP). This also explains why the shunt-connected quadrants are not adjacent but opposite, i.e., displaced by 180°apart: this makes it possible to have a symmetrical air-gap loading (and then an acceptable UMP) if a pair of quadrants is opened due to a fault.
III. GENERATOR DESIGN AND MANUFACTURING
The optimal generator design, schematically illustrated in Fig. 3 , is identified in a fractional-slot wound-tooth dual-layer configuration characterized by 39 slots and 34 poles for each of the four quadrants of the machine (see Fig. 2 ), leading to an overall number of slots equal to 156 and an overall number of poles equal to 136. The stator core is composed of 26 sectors, each encompassing six teeth. As regards the rotor, the chosen design features an IPM topology with spoke-type arrangement of the magnets. In this topology, tangentially magnetized PMs are mounted at both sides of each laminated pole expansion; pole expansions are fixed to a stainless-steel (nonmagnetic) back-iron rim so as to minimize PM leakage fluxes.
Both stator and rotor design choices partly result from comparative performance evaluations, described in [9] , which take into account various performance indices such as the winding factor, the torque ripple, the maximum torque, and the rotor losses for a given generator size.
At the same time, the generator design is selected to maximize the modularity of the machine architecture as a key path toward increased manufacturability and reduced production costs. The basic idea is, in fact, to obtain the machine from assembling sets of identical "building blocks," which can be manufactured easily and independently, hence in parallel.
The modularity of the machine is well highlighted by its "assembly tree" depicted in Fig. 4 , where each leaf of the tree is a component (or set of components) which can be manufactured or procured independently of the others. The assembly of the components (or set of components) is also facilitated by a suitable design of the mechanical interfaces. In Fig. 4 , the yellow region includes the so-called "active parts" of the machine, i.e., the parts through which the current and the useful magnetic flux pass.
An unusual aspect emerging from the assembly tree in Fig. 4 is that each stator tooth coil is composed of two seriesconnected "subcoils," as detailed in Fig. 5 . One subcoil, placed on the air-gap side, is made of Litz-wire turns, while the other subcoil (placed on the bottom side of the slot) is made of normal copper strand turns. This particular design will be investigated in Section V and mainly serves the purpose of reducing the eddy-current additional losses in stator conductors.
One peculiar aspect is the organization of NeFeB PMs into special "magnet packs," as illustrated in Fig. 6 . Each PM pack is composed of several magnetic pieces [see Fig. 3 ). This construction serves two main purposes: to prevent magnet wear or fracture due to direct contact or friction with the laminated poles; to protect the magnets from possible corrosive agents, which are of particular importance in wind generators to be installed in off-shore environments.
A summarized view of the stator manufacturing process is provided in Fig. 7 : stator core sectors are produced in parallel with Litz-wire and strand-turn subcoils. The subcoils are then assembled with the core sector and series connected. Next, each wound sector is individually impregnated with epoxy resin according to the vacuum-pressure-impregnation (VPI) technique. The impregnated wound sectors are then assembled into the stator frame and electrically connected among them.
The rotor manufacturing process is summarized in Fig. 8 . The rotor laminated poles are manufactured in parallel with the PM packs (see Fig. 6 ). Then the poles are mechanically mounted on the stainless-steel rim and the magnet packs are inserted between adjacent poles. The stainless-steel rim with poles and magnets assembled is then fixed on the outer surface of the rotor wheel which acts as a rotating support.
It is evident that the modular design of the generator leads to a relatively simple manufacturing process which can well fit the needs of a possible large-series production. The improved manufacturability is particularly apparent with respect to a stator design based on a distributed winding and to a rotor surface PM (SPM) design, where magnet retention would be critical.
The stator segmentation into wound sectors not only facilitates the manufacturing process, but also the repair operation if a stator fault is detected and located. In fact, it is relatively easy and little invasive to remove a faulty stator sector (after cutting the electrical connections with the adjacent ones) and replace it with a healthy or repaired one.
Of course, the adoption of a generator design conceived to ease the manufacturing process is expected to have possible negative impacts on machine performance. In particular a careful consideration of additional losses both in the stator and in the rotor is necessary to guarantee an acceptable efficiency and thermal behavior. This issue is investigated in the next two sections.
IV. STATOR EDDY-CURRENT LOSS PREDICTION AND MITIGATION
The proposed generator design includes preformed tooth coils, which can be manufactured independently of the stator core sectors and easily assembled to it. This is obviously a simplification with respect to the process of building the coils by winding the wire around each tooth. Nevertheless, the use of preformed tooth coils implies an open slot design to allow for coil insertion. Adopting open slots in PM machines is known from the literature to produce possible issues related to the eddy currents which arise in the conductors as a consequence of the air-gap flux penetration into the slots [14] . As discussed in [14] , eddy-current losses are particularly high within the conductors placed close to the slot opening, since they are "swept" by a larger amount of flux coming from the air gap. This effect causes much higher eddy-current losses than the classical skin effect, which can be neglected at low frequencies.
A possible way to cope with the issue is adopting a Litz-wire winding technology [15] . This would imply realizing each turn as a bundle of twisted shunt-connected thin conductors with such a small cross section that eddy-current losses are negligible. The disadvantage of Litz-wire technology, however, is the very low slot fill factor (in the order of 0.6), which means that only around 60% of the turn cross-section is actually useful for current flow. The low fill factor obviously leads to an increase in machine size and cost with respect to the case where strands are used for the machine winding.
In the case of the machine under study, an original "hybrid" solution is adopted as depicted in Fig. 5 : each tooth coil is subdivided into two series-connected subcoils, one placed on the slot opening side and one at the bottom of the slot. The former subcoil, which is more exposed to air-gap flux penetration into the slot, is made of Litz-wire turns; the latter subcoil, instead, is made of conventional strands. As sketched in Fig. 5 , the Litzwire turns are oversized with respect to the strand-made turns due to the lower fill factor and designed to carry the same current density. Hence, to minimize the overall coil size, it is natural that the Litz-wire turns need to be as few as possible.
Determining the minimum number of Litz-wire turns requires an investigation into the eddy-current distribution inside the conductors and of the resulting temperature field. The main results of this investigation are summarized in Fig. 9 . The rows of the table in Fig. 9 correspond to a different number of Litzwire turns, namely, to the case of 1, 2 or 3 Litz-wire turns. On the left-hand-side column of the table, the eddy-current distribution for each of the cases taken into account is reported as resulting from a time-stepping finite-element analysis (FEA) simulation based on the meshed model shown in Fig. 10 . This eddy-current distribution is superimposed to the useful current flowing through each of the turns. As a result, the overall Joule losses are obtained for all the conductors of the coil, as shown in Fig. 11 , where conductors are numbered from that closest to the slot opening to the farthest one according to Fig. 10 . It can be seen that the losses of the first three conductors are significantly high unless they are built with Litz wire. The losses obtained from the time-stepping FEA are applied to the relevant conductors in order to study the temperature field at steady-state through a thermal FEA simulation, as shown in Fig. 9 (right-hand-side column) . For the thermal simulation, a suitable heat transfer coefficient α (obtained from thermalfluid calculations) is assigned to all the model contours and an ambient air temperature of 40°C is assumed. Although there might be inaccuracies in the exact determination of α, the fact that the same set of heat transfer coefficients is applied to all the cases under study (1, 2, or 3 Litz-wire turns) make it possible to compare them in a reasonably homogeneous fashion.
The thermal analysis results are summarized in Fig. 12 and show that if all the turns are made of strand ("no-Litz" case), the maximum temperature rise of the winding with respect to the environmental air is expected to be over 120 K, which is incompatible with a class-B insulation. For the maximum temperature to comply with class-B thermal limit (80 K), a subcoil consisting of two Litz-wire turns needs to be used on the slotopening side. This configuration, sketched in Fig. 5 , is actually implemented in the design and construction of the generator. 
V. ROTOR EDDY-CURRENT LOSS PREDICTION
One more issue to be investigated in the generator design is the occurrence of eddy currents in the PMs as a possible cause for magnet overheating and demagnetization. The phenomenon has been widely studied in the literature with reference to SPM machine topologies [16] - [19] , also developing some interesting analytical techniques whose validity is, however, limited to the SPM case.
In absence of reliable analytical methods, the problem of PM eddy-current loss prediction in the IPM generator under study is approached in two independent ways, namely, by two-dimensional (2-D) time-stepping FEA and by a hybrid analytical-numerical technique employing a series of 2-D time-harmonic simulations. In both methods, the PM axial segmentation is conservatively disregarded due to the prohibitive computational burden of three-dimensional (3-D) FEA simulations in the case of the machine geometry under investigation.
A. Time-Stepping FEA Calculation
The time-stepping FEA is the most computationally heavy method to approach the problem. It requires a machine modeling similar to that shown in Fig. 10 , where the stator coils are simplified removing the distinction between individual turns (see Fig. 13 ) in order to reduce the number of mesh nodes. Conversely, the mesh in PMs needs to be sufficiently thin in order to capture eddy current effects. The model of the machine allows for a limited simplification based on symmetry consideration. In fact, a single quadrant of the machine can be modeled for FEA simulations (see Fig. 2 ) but no further model reduction is possible due to the fractional-slot design of each quadrant, which includes 39 slots and 34 poles.
A current plot obtained by time-stepping FEA at a certain instant of time is reproduced in Fig. 13 , where the eddy currents induced in the internal PMs can be clearly recognized. It can be seen that the eddy currents tend to concentrate in the PM region placed closer to the air gap because this region is crossed by the majority of the flux lines penetrating into the magnet slots.
On a medium-performance PC (processor: 2×Xeon CPU E5420, clock frequency: 2.5 GHz; RAM size: 20 Gb), the timestepping simulation takes around 12 hours to reach the steadystate and gives the loss results that will be mentioned in the next section for comparison with the other alternative calculation method.
B. Sequence of Time-Harmonic FEA Simulations
An alternative approach for the computation of the eddycurrent losses in PMs is partly analytical and partly numerical. The analytical part consists of determining the air-gap magnetomotive force (MMF) space harmonic fields; the losses produced by these fields are computed by a time-harmonic simulations performed on a simplified model of the machine [20] . The two steps are described next.
1) MMF Space Harmonic Field Analysis:
If we fix an angular coordinate θ measured along the mean air gap and attached to the rotor reference frame, the air-gap MMF can be expressed as a function of the time and the position θ as [20] 
where h max is the maximum space harmonic order being considered; i is the imaginary unit;z is the complex conjugate of z; ω is the stator angular frequency; p is the number of pole pairs; h is the space harmonic order; and F − h and F + h are the coefficients of the MMF harmonics, which rotate in the same direction as the rotor and in opposite direction, respectively
In (2) and (3), N is the number of slot per tooth coil; I is stator current amplitude; τ is the pole pitch; Z is the number of stator slots; and X k is a Z-sized vector, which identifies the phasors of the currents flowing in the Z stator coils according to the procedure explained in [21] based on the star-of-slots algorithm. The elements of X k are computed as follows:
with mod(a,b) being the function that returns the reminder on dividing the integer a by the integer b.
The values of the parameters appearing in (1)- (4) for the particular machine under study are given in Table II. The amplitudes of the MMF harmonics are shown in Fig. 14 , where blue and red bars, respectively, represent F − h and F + h : it can be seen that the largest harmonic has order p = h = 68 and rotates in the same direction as the rotor, corresponding to the fundamental of the air-gap field. Yet significant harmonic amplitudes can be found both for orders below 68 (subharmonics) and above 68.
2) PM Loss Computation by Harmonic FEA:
The MMF given by (1) can be thought of as produced by an equivalent linear current λ(θ, t) distributed around the bore circumference and given by [20] 
.
with R b being the stator bore radius (see Table II ).
To compute PM losses through time-harmonic FEA, a simplified generator model, with a slotless stator having the same bore radius as the real machine, is built, as shown in Fig. 15 .
The linear current density harmonics found in (5) are approximated in the simplified model with a set of N equally distanced current points placed on the stator bore surface, as illustrated in Fig. 15(c) , so that the angle between adjacent current points is Δθ = 2π/N ; the rotor current density loss produced is then computed by suitably assigning a current phasor to each point and running a time-harmonic simulation at an appropriate frequency.
To illustrate the procedure adopted through an example, let us consider a couple of harmonic orders h 1 and h 2 such that
The equivalent current density to be approximated, according to (5) , is
To approximate such current density, the nth point of the machine model (see Fig. 15 ), placed at angular position n Δθ, shall carry the current
with an angular frequency equal to ω(h 2 /p + 1). Based on (7) and (8), the point can be then assigned the phasor given by the following complex number:
and an FEA time-harmonic simulation can be run at the angular frequency of ω(h 2 /p + 1). From the simulation, it is possible to determine the eddy current field arising in the PMs Fig. 15 (b), for example) and then compute the relevant eddy-current losses. The procedure is repeated for all the pairs of harmonics of orders h 1 and h 2 such that |h 2 − h 1 | = 2p. The reason for considering the harmonics in pairs and not individually is that the superposition principle for the rotor eddy current losses holds only on conditions that the frequency of the eddy currents is different [22] . Conversely, harmonic fields whose orders differ by 2p produce rotor eddy currents having the same frequency [20] and thereby need to be considered together, especially in presence of a nonuniform air gap as in the case of the machine under study [22] .
The results obtained in terms of losses caused by different harmonic pairs are given in Fig. 16 . It can be seen that the vast majority of the losses is caused by the harmonic pair with orders 88 and 224 and by the harmonic pair with orders 28 and 164. The total amount of losses in the PMs is around 13 kW. This result is in good accordance with the losses computed by time-stepping FEA, as shown in Table III . However, the evaluation performed though time-harmonic FEA, although requiring multiple simulations (one for each significant harmonic pair in the stator MMF spectrum), leads to a significant saving in terms of computation time, as detailed in Table III . The computational performance comparison between the two methods obviously implies that they are both implemented on the same computer (processor: 2×Xeon CPU E5420, clock frequency: 2.5 GHz; RAM size: 20 Gb).
C. Result Interpretation
The eddy current loss values computed by FEA with the two described procedures need to be interpreted in terms of possible risk of overheating. For this purpose, it can be noticed that the eddy current loss dissipation in each of the 136 magnet packages is around 96 W (see Table III ). According to both the time-harmonic and the time-stepping simulation results [see Figs. 13, and 15(b) ], the eddy-current loss distribution along the magnet cross-section height follows approximately a quadratic Fig. 17 . If the magnet cross section is divided into five segments of centers P1, P2, . . . , P5, as shown in Fig. 17 , then it is possible to assume that the power losses are concentrated in the center points P1, . . . , P5, with the values given in Table IV . A method to simply assess the overheating effect of eddy current losses in the magnets is to estimate the overtemperature that is to be expected in the magnet with respect to the surrounding core. For this purpose, a simplified thermal circuit is established, as shown in Fig. 17 , where it is conservatively assumed that the heat generates in the points P1, P2, . . . , P5 (see Table IV ) and flows horizontally along the thermal resistances R t (hence the thermal flows across the other resistances are neglected). From the knowledge of the rotor geometry and based on the material thermal conductivities, the thermal resistance R t is estimated to be equal to 0.135 K/W. Therefore, the maximum overtemperature in the magnet occurs at point P1 (where the maximum power dissipation P loss1 takes places) and can be evaluated as
The computation, simplified but conservative, clearly indicates that the eddy-current losses in the magnets are not expected to produce dangerous overheating, as confirmed by experiments.
VI. TESTING RESULTS
An important advantage of the system architecture selected (see Fig. 2 ) is that is allows for a regenerative testing method where the machine can be operated at full current load and speed but with no need for any mechanical braking or prime mover. This represents a significant advantage since the very high torque of the machine would call for cumbersome and expensive mechanical equipment to test it at full load conventionally and in absence of a "twin generator" (i.e., in a back-to-back configuration). The regenerative testing arrangement (discussed in [10] and [11] ) is sketched in Fig. 18 (where switches S1, ..., S4 are closed). In such an arrangement, two machine quadrants (1, 2) operate as generators, producing the powers P G 1 , P G 2 , respectively, while the other two quadrants (3, 4) operate in motoring mode, absorbing the power P M 3 , P M 4 , respectively. The dc links of the two ac-dc converter stages are connected together and to the test facility mains through a diode rectifier and a transformer. In such an arrangement, the power produced by the generating quadrants can be fed, through the dc link, into the motoring ones, so that the overall power being drawn from the grid to perform the test corresponds to the total system losses only.
According to the methods discussed in [10] and [11] , the efficiency of the machine at various loads and speeds can be estimated from the described regenerative test method, leading to the diagrams shown in Fig. 19 . These efficiency values are consistent with design predictions as better explained in [10] . In [11] , it is also possible to find an attempt to segregate the machine losses at full load based on testing results. During the regenerative test, the thermal behavior of the machine is also experimentally assessed using a thermal camera (see Fig. 20 ) and a set of thermal detectors placed both between the tooth coil and the wedge and between the tooth coil and the bottom of the slot (see Fig. 5 ). The stator temperatures measured at the end of the heat run test by thermal detectors are given in Table V . Thermal detector between the coil and the wedge 77°C Thermal detector between the coil and the bottom of the slot 103°C
It can be seen that the winding temperature on the air-gap side is actually higher than that in the bottom of the slot due to the phenomena investigated in Section IV. More precisely, the temperature difference between the two extreme parts of the coil is 26 K, which is in very good agreement with the predicted temperature fields shown in Fig. 9 (case of two Litz-wire turns per coil). The discrepancy between the absolute values of the temperatures shown in Fig. 9 and the measured temperatures (see Table V ) is due to the fact that, in the thermal simulations, an ambient temperature of 40°C is assumed, while the actual test is performed at an ambient temperature of 22°C.
Regarding the PM temperatures, it is inspected by the thermal camera during the heat run test and measured directly by contact Fig. 21 . Time-stepping FEA of the machine under study while operating in its rated conditions. The stainless steel rotor back iron is modeled as a nonmagnetic layer with an electrical conductivity equal to 1.25 MS/mm 2 . at the end of the test, collecting an average temperature around 60°C, which is practically the same as the average temperatures detected for the rotor core (pole laminations). This confirms the results found in Section V regarding the negligible thermal effects of eddy-current losses in the PMs. The relatively high rotor temperature was initially interpreted as a consequence of the time-varying field lines, which penetrate into the stainlesssteel rotor back iron, producing flux pulsations and, therefore, eddy current losses in it, as shown in Fig. 21 . Such losses were, however, seen to have a negligible value, equal to approximately 2.3 kW. It was then concluded that back iron losses could not be responsible for any significant rotor heating. The latter is expected to prevalently result from the stator losses, especially in absence of an effective cooling system capable of removing them (see the Appendix).
Regarding the eddy-current losses produced in the stainlesssteel cartridge of PMs (see Fig. 6 ), these are negligible thanks to the very small thickness (around 0.2 mm) of the metal sheet constituting the cartridge itself.
Finally, with regards to the cogging torque, direct measurements on the prototype have revealed peak-to-peak values less than 1%. This result is also due to the appropriate shaping of the laminated rotor pole profile on the air-gap side. No full-load torque ripple measurements could be carried out. Detailed FEA simulations reported in [9] indicate a torque-ripple peak-to-peak amplitude of 2.1%, with a dominating sixth-order harmonic having an amplitude of 1.05%.
VII. CONCLUSION
In this paper, the design, manufacturing, and testing of an alternator prototype for off-shore wind generation is reported. The main target of the project has been to work out and assess a generator design, which meets performance and fault tolerance targets at affordable costs so as to make the direct-drive technology for wind generators possibly attractive and convenient for a large-scale production. After properly selecting the pole and slot number combination, a concentrated-coil fractional-slot stator design has been chosen, combined with a spoke-type IPM rotor arrangement. The highly modular stator design makes it possible to segment the generator into independent units that can be parallel connected and used to feed separate power converters. This endows the generator with intrinsic fault tolerance capabilities and makes it particularly fast and easy to repair the machine in case of a fault by simple replacement of the faulty parts. The rotor IPM structure, in addition to being advantageous in terms of performance, allows for the PMs to be effectively protected against corrosive agents and mechanical wear. Both stator and rotor designs lead to enhanced manufacturability and reduced production costs for the overall machine thanks to the possibility of building the various individual parts separately in parallel and converging to a final simple assembly process. As a part of the design stage, special attention has been devoted in the paper to the prediction and mitigation of eddy-current losses in both stator and rotor. In particular, the problem of copper additional losses in presence of open slots has been approached by segmenting each stator tooth coil into a part made of Litz wire (placed on the air-gap side of the slot) and a part made of ordinary strands (placed at the bottom of the slot). Regarding PM additional losses, they have been investigated through two independent approaches (by time-stepping and time-harmonic FEA, respectively) obtaining consistent results.
The machine prototype performance has been assessed according to an innovative regenerative scheme that enables it operate at full current and speed with no need for mechanical loads or prime movers. According to testing results, the main design choices and predictions have been substantially validated. In particular, tests have shown that the adoption of a hybrid stator coil design (combining Litz-wire and conventional strands) is effective to maintain the additional losses (and hence the temperature) within acceptable limits in presence of open stator slots while preserving an acceptable slot fill factor and an enhanced manufacturability.
APPENDIX
The prototype described in this paper is characterized by a relatively small core length. Its upgrade to a full-scale generator can be achieved by increasing the core length while keeping the cross section unchanged. This upgrade certainly requires an empowerment of the machine cooling system, which is based on natural convection for the prototype. The cooling system of the full-scale machine is presently under development and includes a set of blowers to inject axial cooling air flows in the air-gap region and between the coil sides placed in the same slot (see Fig. 5 ). The axial flows are designed so as to generate a turbulence in the winding overhang region, where a high heat-transfer coefficient is required to avoid the occurrence of possible dangerous hot spots. The cooling air flow is mainly intended to drain the heat from the stator coils and from the rotor. As a further aid, heat exchangers including water pipes are planned to be integrated with the stator modules (see Fig. 7 ) to drain the heat from the outer circumference of the stator laminations. A prototype of a heat exchanger module is shown in Fig. 22 . As it can be seen, copper pipes are adopted to maximize the heat transfer by conduction. A further provision to improve the heat exchange is to impregnate the chiller assembly with epoxy resin at high pressure (VPI) so that the resin fills all the gaps and facilitates the heat removal from the pipes. After impregnation, an epoxy resin film then covers the pipe outer surface protecting it from possible corrosion. As a cooling fluid, demineralized water mixed to ethylene glycol is employed in closed circuit to avoid any possible pipe corrosion from the inside as well.
